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This paper presents a unified phenomenological model to describe the anisotropic viscoplastic mechan-
ical behavior of cold-worked stress relieved (CWSR) Zircaloy-4 fuel claddings submitted to reactivity ini-
tiated accident (RIA) loading conditions. The model relies on a multiplicative viscoplastic formulation and
reproduces strain hardening, strain rate sensitivity and plastic anisotropy of the material. It includes tem-
perature, fluence and irradiation conditions dependences within RIA typical ranges. Model parameters
have been tuned using axial tensile, hoop tensile and closed-end internal pressurization tests results
essentially obtained from the PROMETRA program, dedicated to the study of zirconium alloys under
RIA loading conditions. Once calibrated, the model provides a reliable description of the mechanical
behavior of the fresh and irradiated (fluence up to 10� 1025 nm�2 or burnup up to 64 GWd/tU) material
within large temperature (from 20 �C up to 1100 �C) and strain rate ranges (from 3� 10�4 s�1 up to 5 s�1),
representative of the RIA spectrum. Finally, the model is used for the finite element analysis of the hoop
tensile tests performed within the PROMETRA program.

� 2008 Elsevier B.V. All rights reserved.
1. Introduction

The need to increase fuel burnup in pressurized water reactors
(PWR) initiated safety studies aiming at evaluating the conse-
quences of postulated events on higher burnup fuels. Reactivity
initiated accidents (RIA), for which the postulated initiator is the
inadvertent ejection of a control rod, are among the most severe
design basis accidents. This accident generates a fast energy injec-
tion in the fuel (about 50 ms), leading to a rapid expansion of the
fuel pellets (with thermal and possibly fission gases contributions).
The surrounding cladding tube is then submitted to pellet-clad
mechanical interaction (PCMI), which results in a strain-controlled
multiaxial mechanical loading under high strain rate (typically
1 s�1) associated with a high heating rate (about 103 �C=s) thermal
loading. Since the clad remains at fairly low temperatures during
this early stage of the transient (below 800 �C if starting from hot
zero power conditions), the fast mechanical loading generated
may cause partially brittle failures of high burnup fuel claddings,
embrittled due to metal–water reactions and accumulation of irra-
diation damage during reactor exposure. At a later stage of the
transient, a departure of nucleate boiling (DNB) may occur at the
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clad outer surface due to the heat transferred from the pellets.
Then, the cladding material could remain at high temperatures
(above 800 �C) for several seconds, until rewetting. During this
fairly long period, rod internal pressure may increase, due to fission
gas release after pellet-clad gap re-opening, and lead to clad failure
through pressure-controlled clad ballooning. The evaluation of the
risk of rod failure during RIAs currently requires the use of tran-
sient fuel behavior codes [1]. These codes are developed in con-
junction with full-scale experiments [2], in order to provide an
accurate interpretation of the tests with the aim of transposing
results to the reactor case.

For that purpose, suitable models are necessary to describe the
mechanical behavior of fuel claddings under RIA conditions. Sev-
eral models, either based on macroscopic constitutive equations
[3–5] or micromechanical polycrystalline descriptions [6–8], have
been proposed in the literature to simulate the mechanical behav-
ior of zirconium alloys cladding materials. However, most of them
are not appropriate in the field of RIA studies as they are usually
restricted to limited temperature and strain rate ranges specific
of normal or slightly off-normal conditions. Moreover, microme-
chanical models still remain too complex and CPU-time consuming
to be used in transient fuel behavior codes, although efforts have
been made to avoid these restrictions [7]. Within this framework,
the present paper proposes a macroscopic constitutive model to
describe the anisotropic viscoplastic behavior of fresh and highly
irradiated cold-worked stress relieved (CWSR) Zircaloy-4 fuel

mailto:matthieu.lesaux@cea.fr
http://www.sciencedirect.com/science/journal/00223115
http://www.elsevier.com/locate/jnucmat


M. Le Saux et al. / Journal of Nuclear Materials 378 (2008) 60–69 61
claddings under RIA loading conditions. Suitable out-of-pile tests
results, essentially collected from the PROMETRA (TRAnsient
MEchanical PROperties) program [9–12], carried out in Commis-
sariat à l’Energie Atomique (CEA) hot laboratories and undertaken
by the French Institut de Radioprotection et de Sûreté Nucléaire
(IRSN) in collaboration with Electricité de France (EdF) and CEA,
have been gathered for the identification of the model parameters
within temperature and strain rate ranges representative of those
encountered during RIA transients.

This paper is organized as follows. The material under study and
the selected experimental database are described in Section 2. The
anisotropic viscoplastic mechanical properties of the material are
then discussed. In particular, the influences of test temperature,
strain rate, fluence and irradiation conditions are analyzed. In Sec-
tion 3, the formulation of the proposed model is detailed and its
ability to reproduce, once calibrated, the experimental data is illus-
trated. Finally, using the present model to describe the mechanical
behavior of the cladding specimens, a Finite Element Analysis
(FEA) of the hoop tensile tests performed within the PROMETRA
program is presented in Section 4.
Fig. 1. (a) AT specimen and (b) HT specimen (mandrels used to load the specimen
are shown on the right) tested within the PROMETRA program.
2. Experimental observations

2.1. Material and experimental database

The material consists in CWSR Zircaloy-4 tubes, which is com-
monly used for fuel claddings in PWRs. Its weight composition is
1.2–1.7% Sn, 0.18–0.24% Fe, 0.07–0.13% Cr, 0.1–0.14% O, Zr balance,
according to the ASTM B 350.90 specification. Before irradiation,
the cladding tubes present a nominal external diameter and a
thickness of 9.5 mm and 0.57 mm, respectively. The stress relieved
state is obtained by heat treatment at a temperature lower than
500 �C. The grains then remain elongated along the rolling direc-
tion (tubes axial direction) and the density of dislocations is high,
resulting in a high mechanical strength. The fabrication process of
cladding tubes leads to the development of a strongly marked crys-
tallographic texture of the material (typically, the hci directions are
symmetrically oriented at about 30� from the tube radial direction
in the radial-tangential plane).

The PROMETRA experimental database was used to study the
mechanical behavior of the material under thermal–mechanical
loading conditions representative of those generated during RIAs.
This database gathers uniaxial axial tensile (AT) and hoop tensile
(HT) tests and biaxial (axial to hoop stress ratio of 0.5) closed-
end internal pressurization (IP) burst tests results for the non-irra-
diated and the irradiated material (fluence up to about
10� 1025 nm�2 or burnup up to 64 GWd/tU). Geometries of the
specimens tested within the PROMETRA program are detailed in
Fig. 1. These tests were performed under high strain rate (from
0:01 s�1 to 5 s�1) within a large temperature range (from 20 �C
up to 1100 �C). The irradiated specimens were machined from fuel
cladding tubes irradiated in French PWRs. Except for some IP sam-
ples, the oxide layer of irradiated tubes was beforehand mechani-
cally removed. The tests were performed under constant
temperature. A furnace heating technique (slow heating rate, about
0.2 �C/s) was used for the tests conducted below 480 �C. For higher
temperatures, fast heating techniques, using the Joule effect (about
100 �C/s) for AT tests and an induction heating system (about
200 �C/s) for HT tests, were used to minimize the potential anneal-
ing, hydrides redistribution or even recrystallization of the mate-
rial (which are highly time-dependent processes [10]). For AT
and HT tests, engineering strain and engineering stress were
respectively calculated by dividing the cross-head displacement
by the specimen initial gauge length and the applied force by the
initial cross-section. For IP tests, the mean engineering hoop strain
in the tube thickness is equal to DDe=Dm, where De and Dm are
respectively the external and the initial mean tube diameter, and
the difference between the engineering values of hoop and radial
stresses is given by PDm=2t, where P is the internal pressure and
t is the initial tube thickness. In conformity with the negligible con-
tribution during RIAs of elastic strains compared to plastic strains,
the present paper only focuses on the inelastic behavior of the
material. Parameters such as the yield stress at 0.2% plastic strain,
S0:2%

Y , the ultimate (or maximum) stress, SU, and the uniform elon-
gation at the onset of necking (plastic strain which corresponds to
SU), eU, were determined on the engineering stress–strain curves.
True plastic strain and true stress are denoted �p and r, respec-
tively. Tests conducted on specimens machined in spalled areas
of highly corroded claddings were not considered since hydride
blisters, which significantly affect the macroscopic mechanical
behavior of the material, are generally observed in those regions
[12]. Moreover, the determination of hoop tensile stress–strain
properties from HT tests performed on ring specimens is complex
due to structural effects such as bending and friction. Nevertheless,
as revealed by FEA of the HT tests performed within the PROME-
TRA program (described in Section 4), whereas the influence of
these effects are significant within the elastic domain and at the
onset of plasticity, one can assume that the ultimate stress is only
slightly affected. Hence, for HT tests, only the ultimate stresses
have been considered. Note that an international Round Robin, cur-
rently pursued, has been launched in 2001 in order to compare the
results obtained from different methods involving various sample
geometries and experimental devices [13,15,11,14] for generating
hoop tensile properties [16].

Experimental results extracted from the open access [17,18]
and restricted literature were also used in order to enlarge the
experimental database, in particular for low temperatures (from
20 �C to 350 �C) and low strain rates ð3� 10�4 s�1Þ. Due to confi-
dentiality reasons, some of these data will not explicitly appear
in the figures shown in this paper. Finally, the experimental data-
base gathers 521 tests results divided as listed in Table 1. These
data reveal an evident scatter, especially for the irradiated



Table 1
Exploited experimental database

Tests Fresh material Irradiated materiala

Ranges Number Ranges Number

AT 20–1100 �C 54 20–1100 �C 124
3� 10�4—5 s�1 3� 10�4—5 s�1

HT 20–900 �C 34 20–600 �C 168
3� 10�4—5 s�1 3� 10�4—5 s�1

IP 20–400 �C 59 20–350 �C 82
3� 10�4—1:5� 10�2 s�1 3� 10�4—1:5� 10�2 s�1

a From 1 cycle up to 5 cycles in PWR.
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material, due to the various origins of the material and to uncer-
tainties on irradiation and testing conditions. Furthermore, evalu-
ation of uniform elongation is difficult due to the low hardening
properties of the material.

2.2. Analysis of the experimental data

Strength, strain hardening, strain rate sensitivity and plastic
anisotropy of the material have been analyzed. Their dependence
on temperature, fluence, irradiation conditions and plastic strain
are discussed below.

2.2.1. Strength
For all testing conditions (AT, HT or IP tests), the flow stress of

the fresh material normally decreases with increasing tempera-
ture, T, due to the increase of dislocations mobility (Fig. 2a). A
slight inflection can be observed between about 300 �C and 600 �C.
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Fig. 2. Variation of the ultimate stress as a function of temperature and strain rate
for AT tests performed (a) on the fresh material and (b) on the material irradiated
for 5 cycles (fluence around 10� 1025 nm�2).
Besides, comparison of Fig. 2a and b shows that neutron irradi-
ation leads to a significant hardening (i.e. increase in flow stress) of
the material, due to the formation of point defect clusters (high
density of irradiation-induced loops) that act as obstacles against
the glide of deformation dislocations [6,19,20]. This effect is signif-
icant at low fluences, /t ðE > 1 MeVÞ, then quickly saturates be-
yond about 2� 1025 nm�2 (i.e. one annual cycle in PWR). The
saturation is related to a balance between the creation and the
recombination of irradiation defects. Amplitude of the irradiation
hardening significantly decreases with increasing test tempera-
ture, in particular beyond the irradiation temperature (about
350 �C), due to a partial recovery of the out of equilibrium micro-
structure of the irradiated material (reduction of the point defects
density and growth of the irradiation-induced loops). The flow
stress of the irradiated material tends towards that of the non-irra-
diated material at high test temperatures, for which irradiation de-
fects are quasi-instantaneously recovered according to literature
results (see [21] for example).

Moreover, mechanical properties of the material depend on
irradiation conditions. Irradiation temperature is not uniform
along fuel cladding tubes (it varies from about 320 �C to 380 �C)
since temperature of the primary coolant is higher at the upper
part of the assembly. As the external oxide layer acts as a heat insu-
lator, the thermal gradient along fuel claddings is intensified by the
faster clad oxidation kinetics for the higher, warmer spans. There-
fore, the irradiation hardening amplitude depends, in addition to
fluence, on the original state of the tested specimen, depending
on its axial position along the tubes. Fig. 3 shows in accordance
with the observations reported in [22] that, for a same neutron
fluence, the flow stress of the material decreases with increasing
normalized axial position n ¼ z=l, where z is the axial position com-
puted from the bottom of the assembly and l is the total length
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Fig. 3. Variation of the ultimate stress as a function of the normalized axial position
of the specimen along the cladding tubes for HT tests conducted at various temp-
eratures under a strain rate of 5 s�1 on the material irradiated for 5 cycles.
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of the cladding tube (for example, l ¼ 3:66 m for french PWR
900 MW reactors). Actually, a higher irradiation temperature al-
lows a more efficient recombination of point defects and thus a
lower density of loops after irradiation [19]. One can expect that
the axial position effect (or more specifically the irradiation tem-
perature effect) is attenuated with increasing test temperature, in
particular above the irradiation temperature. Indeed, magnitude
of the variation of material strength as a function of the axial posi-
tion/irradiation temperature increases with increasing the irradia-
tion time.

2.2.2. Strain hardening
As shown in Figs. 4 and 5, the instantaneous strain hardening

exponent of the material,

n ¼ o ln r
o ln �p ¼

�p

r
or
o�p ; ð1Þ

varies continuously during plastic deformation; it slightly increases
with plastic strain at low plastic strain levels (less than 0.5%) and
decreases at higher strain levels. The influence of plastic strain on
the strain hardening behavior of Zircaloy-4 fuel claddings is often
ignored by other investigators, who consider one average strain
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Fig. 4. Experimental (symbols) and simulated (lines) engineering stress–plastic s-
train curves (up to uniform elongation) for AT tests performed under various con-
ditions on the non-irradiated material and the material irradiated for 5 cycles.
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Fig. 5. Variation of the instantaneous strain hardening exponent, n ¼ o ln r=o ln �p,
as a function of plastic strain (up to uniform elongation) for AT tests performed
under a strain rate of 5 s�1 on the non-irradiated material and the material irrad-
iated for 5 cycles.
hardening exponent over a large plastic strain range. For example,
an average strain hardening exponent of about 0.06 is reported in
[23] for the fresh material at 300 �C. This value is in good agreement
with the mean value, calculated up to uniform elongation, of the
instantaneous strain hardening exponent depicted in Fig. 5. The
instantaneous strain hardening globally decreases with increasing
temperature, which is consistent with the thermally activated dislo-
cation cross-slip and climb. Besides, it decreases with increasing
irradiation, in particular for plastic strains close to the uniform
elongation. Indeed, independently of plastic deformation, the flow
stress r increases with irradiation. Furthermore, according to Oni-
mus et al. observations [6,24], the strain hardening rate or=o�p of
the irradiated material is clearly higher at the onset of plastic flow
(due to the plastic strain localization at the grain scale). Then, it rap-
idly decreases (channels propagation from grain to grain) to values
of the same order of magnitude than for the non-irradiated mate-
rial, that decreases more gradually. In accordance, the uniform
strain continuously decreases with increasing temperature. Irradia-
tion leads to a clear reduction in uniform elongation, associated to a
highly localized necking, as previously observed by Regnard et al.
[20]. The irradiation effect on the strain hardening behavior is re-
duced with increasing test temperature (irradiation damage
recovery).

2.2.3. Strain rate sensitivity
Fig. 2 also illustrates the strain rate sensitive strength of the

material. The strain rate sensitivity, defined as the change in flow
stress over a strain rate range, is described by the parameter,

m ¼ o ln r
o ln _�

; ð2Þ

which can be approximated by m � ðln r2 � lnr1Þ=ðln _�2 � ln _�1Þ
where r1 and r2 are the flow stresses measured during tests con-
ducted – for similar test temperature, irradiation conditions and
plastic strain level – under strain rates _�1 and _�2, respectively. As
shown in Fig. 6, whatever the test temperature, the strain rate sen-
sitivity is positive, i.e. the flow stress increases with increasing
strain rate. It is nearly constant between 20 �C and 300 �C and in-
creases significantly beyond. No evidence of drop in strain rate sen-
sitivity, manifestation of dynamic strain aging (due to the mutual
interaction between the oxygen solute atoms and the dislocations)
sometimes observed around 350 �C (depending on strain rate) in
zirconium alloys [25,18], is detected. Furthermore, as already
observed in recrystallized zirconium alloys [24], it seems that
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irradiation increases the strain rate sensitivity of the material for
temperatures lower than about 500 �C.

2.2.4. Plastic anisotropy
Due to the hexagonal close-packed lattice of zirconium com-

bined with the processing of fuel cladding tubes, the material
exhibits a strong crystallographic texture implying anisotropic,
and more specifically orthotropic mechanical properties in the
tube reference system, defined by radial ðrÞ, hoop ðhÞ and axial
ðzÞ directions. For example, plastic anisotropy is highlighted by
the ratios of axial to hoop plastic strain increments measured
during AT and IP tests (Fig. 7) and by comparing the flow stresses
measured during AT and HT tests (Figs. 2 and 9). The axial to
hoop plastic strain ratios used in the present work are in good
agreement with the approximate ratio of �1.8 reported in
[3,4,15] for the non-irradiated material under axial tension at
350 �C. As shown in Fig. 7 and in accordance with the observa-
tions of Murty and Charit [26], plastic anisotropy of the fresh
material depends on test temperature, in particular above
300 �C. Note that the variation as a function of temperature of
plastic anisotropy is more marked for lower strain rates and plas-
tic strain levels. This evolution may be partially explained by the
activation of different slip systems depending on testing condi-
tions. Whatever the test temperature and the plastic strain level,
it has been established that prismatic glide is predominant for
the non-irradiated material [27]. Nevertheless, other mechanisms
are present: slip on the first pyramidal system has been observed
at high plastic strains and high temperatures and, although
hardly observed, basal glide becomes significant for high temper-
atures (above about 500 �C), low strain rates and high plastic
strain levels. Moreover, as illustrated by the difference between
flow stresses measured during AT and HT tests, plastic anisotropy
of the material depends on irradiation. Note that studies dealing
with the influence of irradiation on the plastic anisotropy of zir-
conium alloys are very few [28,30,29]. Onimus et al. [6,24] ob-
served an irradiation-induced change in the principal slip
system activation. Basal slip becomes the dominant deformation
mechanism for the irradiated material, since the increase under
irradiation of the critical resolved shear stresses for prismatic
and pyramidal slip systems is greater than for the basal slip sys-
tem. In addition, one can expect that hydrides generally observed
in fuel claddings irradiated in PWRs may influence the material
anisotropy.
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Fig. 7. Variations as a function of test temperature of the ratios of axial to hoop
plastic strain increments obtained during AT tests (for axial plastic strain values of
0.01 and 0.02) and IP tests (for hoop plastic strain values of 0.01 and 0.015) con-
ducted on the fresh material under various strain rates.
3. Model description

3.1. Model formulation

In order to reproduce these effects, a unified (only one type of
inelastic deformation is considered) anisotropic viscoplastic model,
with no stress threshold between elastic and viscoplastic regimes
(and thus only appropriate for monotonic loading) and including
a multiplicative plastic strain dependent strain hardening, is pro-
posed. The total strain, �, can be splitted up in an additive manner
into elastic, �e, and viscoplastic, �p, parts. The elastic contribution,
which is assumed to be isotropic, is described by a temperature
dependent Young’s modulus, EðTÞ, and a Poisson’s ratio, m, accord-
ing to the isotropic Hooke’s law.

The texture-induced plastic orthotropy of the material is
described by a Hill’s quadratic yield criterion [31] (isotropic
hardening):

rHðr; T;/tÞ ¼
ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
r : HðT;/tÞ : r

q
ð3Þ

where r is the stress tensor and H is a symmetric fourth rank tensor.
The equivalent stress has the following expression when expressed
in the anisotropy principal axes, which coincide with the tube ref-
erence system axes ðr; h; zÞ:

rH ¼ ½Hrrðrhh � rzzÞ2 þ Hhhðrzz � rrrÞ2 þ Hzzðrrr � rhhÞ2

þ 2Hrhr2
rh þ 2Hrzr2

rz þ 2Hhzr2
hz�

1=2
: ð4Þ

Since shear components are unknown and play no role in the sim-
ulated mechanical tests, they are assumed to be equal to the isotro-
pic ones, i.e. Hrh ¼ Hrz ¼ Hhz ¼ 1:5. In order to determine the
anisotropy coefficients Hrr , Hhh and Hzz, which are defined up to a
multiplicative constant, the axial direction is fixed as the reference
one, leading to rH ¼ rzz for an AT test so that Hrr þ Hhh ¼ 1 (normal-
ization condition).

The viscoplastic strain rate tensor, _�p, obeys the normality rule
and is expressed using a viscoplastic potential

X ¼ _p0
mg

mþ 1
rH

g

� �1þm
m

; ð5Þ

so that

_�p ¼ oX
or
¼ _p

orH

or
¼ _pH :

r

rH
: ð6Þ

The equivalent viscoplastic strain rate is given by

_p ¼ _p0
rHðr; T;/tÞ
gðp; T;/t ; nÞ

� �1=mðT;/tÞ

; ð7Þ

where m is the strain rate sensitivity exponent defined in Eq. (2), _p0

is the reference strain rate fixed to 1 s�1 and g is a non-linear vis-
cosity coefficient. For the sake of clarity, g is separated into strength
and strain hardening contributions:

gðp; T;/t ; nÞ ¼ KðT;/t; nÞLðp; T;/tÞ ð8Þ

where K is the strength coefficient (independent on p) and L is the
strain hardening coefficient (dependent on p). The strain hardening
exponent of the material (Eq. (1)) is then given by n ¼ o ln L=o ln �p

under uniaxial loading.

3.2. Model identification

The proposed model includes four parameters to be adjusted:
the strain rate sensitivity exponent m, the strength coefficient K,
the strain hardening coefficient L and the Hill tensor H. According
to the experimental observations partially described in Section 2,
m is considered as temperature and fluence dependent, K is defined
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as temperature, fluence and irradiation conditions dependent, L is
regarded as plastic strain, temperature and fluence dependent and
H depends on temperature and fluence. Since the irradiation tem-
perature is not available for the majority of the tested specimens,
the influence of irradiation conditions is expressed in term of nor-
malized axial position of the samples along the fuel cladding tubes,
which is known for all the irradiated specimens. Nevertheless, an
approximate linear relation between the irradiation temperature
Ti and the normalized axial position n can be established from
the few irradiation temperature data available: TiðKÞ ¼ 594:35þ
49:673n.

Description of the strongly non-linear evolutions of these
parameters as a function of plastic strain, temperature and fluence
within wide ranges requires a large number of secondary parame-
ters. The 46 resulting secondary parameters have been identified
using the whole experimental database summarized in Table 1.
The Newton’s optimization method has been applied to minimize
weighted least square cost functions introduced to characterize
the difference between experimental data and model predictions.
The general identification procedure is summarized in Table 2,
where in particular the experimental data used to tune each
parameter are specified.
Table 2
Identification procedure

Parameter Signification Data Test

m Strain rate sensitivity rx%
Y

b AT
L Strain hardening r ¼ f ð�pÞ up to �U if available AT

rx%
Y

b, rU and �U otherwise AT
K Strength rx%

Y
b, rU AT

H Anisotropy d�p
zz=d�p

hh
a AT

rU HT
d�p

zz=d�p
hh

a, rx%
Y

b and rU IP

a For the fresh material only.
b x ¼ 0:1;0:2;0:5;1 when available.

Table 3
Adjusted model parameters (T in K, /t in 1025 nm�2 and n in m/m)

Elasticity
EðTÞ ¼ 1:059� 1011 � 36� 106T , m ¼ 0:342

Irradiation damage
Uð/tÞ ¼ 1� expð�0:3/tÞ

Strain rate sensitivity
mðT;/tÞ ¼ 1=½m0ðTÞð1�m/ðT;/tÞÞ��
with m0ðTÞ ¼ 77:68M0T þ 4:11ð1�M0T ðTÞÞ

where M0T ðTÞ ¼ 1=½1þ expð10:2ðT=692� 1ÞÞ�
and m/ðT;/tÞ ¼ 0:46Uð/tÞ=½1þ expð14:49ðT=870� 1ÞÞ�

Strength
KðT;/t ; nÞ ¼ K0ðTÞð1þ K/ðT;/t ; nÞÞ
with K0ðTÞ ¼ ð1:409� 109 � 1:1558� 106TÞK0T ðTÞ þ 4:05� 107ð1� K0T ðTÞÞ

where K0T ðTÞ ¼ 1=½1þ expð6:62ðT=1007� 1ÞÞ�
and K/ðT;/t ; nÞ ¼ 0:42ð1� 6:44� 10�2/tnÞUð/tÞ=½1þ expð19ðT=768� 1ÞÞ�

Strain hardening
Lðp; T;/tÞ ¼ ðpþ 1� 10�4Þn0ðT;/t Þ expð�anðTÞpÞ þ ðpþ 1� 10�4Þn1ðT;/t Þð1� expð�anðTÞpÞÞ
with n0ðT;/tÞ ¼ n00ðTÞð1� n0/ðT;/tÞÞ

with n00ðTÞ ¼ 7:9� 10�2N00T ðTÞ þ 3� 10�2ð1� N00T ðTÞÞ
where N00T ðTÞ ¼ 1=½1þ expð4ðT=620� 1ÞÞ�

and n0/ðT;/tÞ ¼ 0:24Uð/tÞ=½1þ expð7ðT=630� 1ÞÞ�
and n1ðT;/tÞ ¼ n10ðTÞð1� n1/ðT;/tÞÞ

with n10ðTÞ ¼ 5� 10�2N10T ðTÞ þ 5:6� 10�3ð1� N10T ðTÞÞ
where N10T ðTÞ ¼ 1=½1þ expð5ðT=590� 1ÞÞ�

and n1/ðT;/tÞ ¼ 0:63Uð/tÞ=½1þ expð7ðT=630� 1ÞÞ�
and anðTÞ ¼ 40:45 expð2:03� 10�3TÞ

Anisotropy
HrrðT;/tÞ ¼ 0:485þ 9:5� 10�2ð1�Uð/tÞÞ=½1þ expð12ðT=740� 1ÞÞ� þ 0:32Uð/tÞ=½1þ exp
HzzðT;/tÞ ¼ 0:52þ ð�0:23þ 4� 10�4TÞð1�Uð/tÞÞ=½1þ expð15ðT=550� 1ÞÞ� � 0:16Uð/tÞ
As a first step, while considering the normalization condition
chosen for the determination of the Hill coefficients, the parame-
ters m, L and K were evaluated using AT tests results. First, m
and L were independently identified using for m: rx%

Y with x ¼
0:1;0:2;0:5;1 when available; for L: r ¼ f ð�pÞ up to �U if available,
rx%

Y with x ¼ 0:1;0:2;0:5;1, rU and �U otherwise. Then, considering
these adjusted values as the initial ones for the identification pro-
cess, K was tuned on the basis of rx%

Y with x ¼ 0:1;0:2;0:5;1 and
rU. A global adjustment of m, L and K was subsequently performed
on all AT tests data.

Afterwards, parameters describing plastic anisotropy ðHÞ were
identified on the basis of AT (d�p

zz=d�p
hh available for the fresh mate-

rial only), HT ðrUÞ and IP (d�p
zz=d�p

hh available for the fresh material
only, rx%

Y with x ¼ 0:1;0:2;0:5;1 and rU) tests results. Note that for
temperatures greater than 400 �C, only stress–plastic strain data in
the hoop direction were available (up to 900 �C for the fresh mate-
rial and 600 �C for the irradiated material) for the determination of
anisotropy coefficients. However, since for a given loading direc-
tion the activated deformation mechanisms and consequently the
macroscopic plastic anisotropy essentially depend on the local
stress level, one can expect that anisotropy of the material sub-
jected to high temperature and high strain rate strain hardening
tests is closed to that deduced from creep tests conducted at mod-
erated stress levels (low strain rate) under moderated tempera-
tures. Hence, the anisotropy coefficients have also been identified
so that the ratio d�p

zz=d�p
hh predicted for IP tests tends, when

increasing temperature, towards the ratio value of 0.019 deduced
from IP creep tests conducted at 350 �C at a fixed stress level equal
to 260 MPa up to a hoop plastic strain of 0.025 [17].

Finally, a global parameters adjustment was achieved over the
whole experimental database. In order to avoid non-physical ex-
treme parameter values and prevent numerical problems in simu-
lation codes, all functions introduced to describe evolutions of
model parameters have been defined so that smooth evolutions
with lower and upper values are obtained. Tuned values of the
parameters are reported in Table 3.
ð10ðT=660� 1ÞÞ�
=½1þ expð20ðT=920� 1ÞÞ�
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3.3. Results and discussion

Fig. 2 compares experimental and simulated evolutions of SU as
a function of temperature for AT tests carried out under different
strain rates on the non-irradiated material and the material irradi-
ated for 5 cycles. The good agreement reveals the ability of the
model to reproduce the influences of temperature, fluence and
strain rate on the flow stress. Moreover, as depicted in Fig. 3, the
model accurately captures the effects of irradiation conditions on
material strength. Furthermore, the temperature, irradiation and
plastic strain dependent strain hardening behavior of the material
(Figs. 4 and 5), including uniform elongation (Fig 8), is correctly
predicted by the model. Note in particular that the proposed for-
mulation for the strain hardening coefficient, L, provides a better
description of both plastic strain dependent strain hardening and
uniform elongation than the classical power law type equation
(replacing L by p�n in Eq. (8)) that includes only one average strain
hardening parameter �n and for which �U ¼ �n under uniaxial
tension (in accordance with the Considère’s plastic instability
criterion). Besides, plastic anisotropy is fairly well reproduced
(Figs. 7, 9). Hence, the model provides a reasonable description
of the material mechanical behavior within the studied domain,
i.e. for temperatures from 20 �C up to 1100 �C, strain rates between
3� 10�4 s�1 and 5 s�1 and fast neutron fluences from 0 nm�2 up to
10� 1025 nm�2.

The average value over the whole identification database of the
relative error j ðyexp � ysimÞ=yexp j between experimental quantities
(yield and flow stresses and uniform plastic strains), yexp, and the
corresponding simulated values, ysim, is equal to about 8% on yield
and flow stresses and 62% on uniform elongations, which is satis-
factory compared to the experimental scatter (Figs. 2, 4, 8 and 9).
Nevertheless, prediction capability of the model is expected to de-
crease with increasing temperature. Indeed, description of plastic
anisotropy in particular is approximative for the upper part of
the temperature range, due to the lake of data pertaining to HT
tests and IP tests, especially over 600 �C for the irradiated material.

4. Example of FEA application

4.1. Introduction

The proposed model has been implemented into the finite ele-
ment code Cast3M developed at CEA (http://www-cast3m.cea.fr/
cast3m/index.jsp). Due to the geometry of the tubes, designs of
the specimens used to measure fuel claddings axial and hoop ten-
sile properties are not standardized. Finite element analysis (FEA)
of the AT tests performed within the PROMETRA program showed
that plastic strains and stresses are homogeneous within the gauge
length of the specimens. Therefore, AT tests can be considered as
uniaxial and axial tensile properties of fuel claddings can be de-
rived straightforwardly from the measured load–displacement
data using the standard procedure: plastic displacement is ob-
tained by subtracting the effective elastic displacement from the
mandrel total displacement (machine compliance and offset dis-
placement are determined by standard means); engineering plastic
strain is then calculated by dividing the plastic displacement by
the initial calibrated gauge length and engineering stress is deter-
mined by dividing the load by the initial total cross-sectional area
of the two gauges.

As specified in Section 2, interpretation of the ring HT tests per-
formed within the PROMETRA program for evaluating the proper-
ties of the cladding material in the hoop direction is less obvious,
because of structural effects that occur during the experiments
(bending, friction, etc.). Due to the small size of the specimen
and to the relative ease of the test achievement (suitable for a
use in hot cells), the correct interpretation of the ring tensile test
is an important issue for the study of the mechanical behavior of
irradiated cladding materials. For this, FEA investigations are nec-
essary to provide a further understanding of the test. An inverse
method, combining FEA and tests results, was previously proposed
to derive hoop stress–plastic strain properties from raw HT tests
data [9,10]. Nevertheless, in the FEA of those studies, plastic anisot-
ropy and viscosity of the material as well as friction between the

http://www-cast3m.cea.fr/cast3m/index.jsp
http://www-cast3m.cea.fr/cast3m/index.jsp
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sides of the mandrels and the sample gauges were not hitherto ta-
ken into account. Here, a more precise simulation of the tests was
developed in order to examine the consequences of structural arte-
facts and check if the direct conversion of the raw load–displace-
ment data to stress–plastic strain properties results in significant
discrepancies compared to the intrinsic mechanical properties of
the material.

4.2. Geometry and finite element modeling

The ring specimen used within PROMETRA consists of a 5 mm
large small ring with two gauges of 3 mm length and 2 mm width
(Fig. 1). The sample is placed around two half-cylinder inserts at-
tached to the cross-heads and pulled apart inside the ring. No lub-
rification is used between the mandrels and the specimen. The
mandrels are designed to have a gap of about 30 lm between their
sides and the sample gauges in order to minimize the combined ef-
fects of bending and friction. Load and cross-head displacement are
measured during the experiments.

Brick elements with quadratic interpolation (20 nodes, 27
Gauss points) are used for the calculations, based on a large dis-
placement and large strain formulation. According to the symme-
tries, only 1/8 of the system is considered. Standard boundary
conditions are applied and a contact area involving sliding with
friction is defined between the inner surface of the ring specimen
and the outer surface of the die inserts. Friction is modeled by
the classical Coulomb’s friction law (friction coefficient, l). An ini-
tial gap, g, is introduced between the sides of the mandrels and the
specimen gauges. The cross-head displacement is applied on the
tangential direction of the sample gauge section. The set of consti-
tutive equations proposed in the present paper is used to describe
the mechanical behavior of the cladding specimens.

4.3. Results and discussion

Due to bending and friction, plastic strain and stress fields are
not homogeneous within the calibrated parts of the ring sample:
plastic strains are concentrated in the middle of the calibrated
region and strain and stress gradients are observed through the
sample thickness (Fig. 10). Note that local deformations of the
specimen are influenced by plastic anisotropy of the material.
The influence on structural artefacts of temperature, strain rate,
fluence, initial gap and friction coefficient between the ring speci-
Fig. 10. Stress and plastic strain fields in the hoop direction calculated at a global
plastic strain of 0.01 for HT tests performed at a displacement rate of 15 mm s�1 at
(i) 350 �C and (ii) 900 �C with l ¼ 0:4 and g ¼ 0:3 lm on the material irradiated for
5 cycles (with n ¼ 0:5).
men and the mandrels have been analyzed. The methodology con-
sists in comparing the intrinsic hoop stress–plastic strain
properties (response of an elementary representative volume
undergoing a pure hoop tensile loading) predicted by the set of
constitutive equations proposed in the present paper and those de-
duced from three-dimensional FEA of the HT tests. The conversion
of load–displacement data calculated by FEA into engineering
stress–plastic strain relationship has been performed by applying
the standard procedure stated above, i.e. using the initial cross-sec-
tional area and the initial calibrated gauge length. Nevertheless, a
more local estimation of plastic strain can be obtained from FEA
by computing the area-averaged plastic strain at the center of
the specimen gauges. Then, an effective gauge length can be de-
fined so that the ratio between the plastic displacement and this
length corresponds to the aforementioned area-averaged plastic
strain. Differences between intrinsic and FEA-calculated plastic
strain, stress and uniform elongation measurements are discussed
below.

4.3.1. Stress–plastic strain relationship
Structural artefacts can be quantified by the relative difference

between FEA and intrinsic flow stress for a given global strain
(Fig. 11). The term global refers to quantities deduced from the
measured load–displacement data. Artefacts are shown to be sig-
nificant both in the elastic regime and at the beginning of global
plasticity. For all testing conditions, the yield stress deduced from
FEA is 10–20% lower than the intrinsic stress at the onset of
plasticity, since the gauge section is submitted to a combination
of tensile and bending loads. Yet, as the bending contribution rap-
idly decreases during deformation, this underestimation does not
exceed 10% on SU whatever the testing conditions.

4.3.2. Plastic strain
The difference between intrinsic and FEA-obtained stress–plas-

tic strain data may be partially due to the fact that the 3 mm cali-
brated length (which is commonly used as the gauge length to
interpret test data) does not rigorously pertain to the effective
gauge length. Indeed, as illustrated in Fig. 12, the instantaneous
effective gauge length determined by FEA varies during loading,
in particular for low global plastic deformations (lower than about
0.005). As a consequence of bending, whereas no plasticity is ex-
pected at the beginning of the test according to the measured glo-
bal response, plastic deformation occurs locally within the gauge
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section. Furthermore, while the effective gauge length decreases
with increasing friction coefficient and initial gap, it increases with
increasing test temperature. Indeed, the strain rate sensitivity of
the material flow strength significantly increases with increasing
temperature between about 400 �C and 800 �C. Therefore, as a high
strain rate sensitivity tends to stabilize strain localization within
the gauge parts, specimen deformation is more diffuse at higher
temperatures. For example, at 350 �C for l ¼ 0:4 the effective
gauge length is about 2–2.5 mm for global plastic strain greater
than 0.005, while it is approximately 4–4.5 mm at 900 �C. As a con-
sequence, by using the calibrated length of 3 mm, plastic strain is
underestimated by up to 50% at 350 �C and overestimated by up
to 30% at 900 �C.

4.3.3. Stress
The underestimation of stress values is amplified with increas-

ing fluence and more significantly with increasing temperature. In-
deed, discrepancy between the actual strain rate within the gauge
section and the expected strain rate (imposed displacement rate
divided by the calibrated gauge length) is logically of the same or-
der of magnitude as for plastic strain (approximately a 50% under-
estimation at 350 �C and a 30% overestimation at 900 �C). This may
importantly influence the specimen reponse, in particular at high
temperatures for which the flow stress strongly depends on strain
rate. For example, at 900 �C, according to the constitutive equation
proposed in the present paper, the ultimate stress in the hoop
direction decreases by about 9% when the strain rate is 3:5 s�1

ð¼ 70% � 5 s�1) instead of the expected 5 s�1. On the other hand,
the difference between the intrinsic stress level and that deduced
from FEA decreases with increasing the friction coefficient be-
tween the ring specimen and the die inserts. A quite good correla-
tion is obtained for a friction coefficient of 0.4 (Fig. 11), which
appears to be a realistic value considering the surface roughness
of the irradiated samples and the absence of lubrification between
the mandrels and the specimen.

4.3.4. Uniform elongation
In conformity with these observations, necking is substantially

influenced by testing conditions: strain localization is enhanced
with increasing friction coefficient and initial gap and delayed with
increasing temperature. For example, for the material irradiated for
5 cycles tested at 350 �C, the uniform elongation is overestimated
by about 40% for l ¼ 0 and g ¼ 30 lm, 20% for l ¼ 0:4 and
g ¼ 30 lm and 40% for l ¼ 0:4 and g ¼ 0 lm. At 900 �C for
l ¼ 0:4 and g ¼ 0:3 lm, the global uniform plastic strain is more
than twice greater than the intrinsic one, probably as a conse-
quence of the high strain rate sensitivity of the material that con-
fers to the ring specimen a high resistance to necking. These results
justify that uniform elongation measured during HT tests were not
taken into account in the identification procedure described in
Section 2.

According to this analysis, structural artefacts become relatively
low for global hoop plastic strain levels greater than about 0.005.
Then, one can consider that the stress–plastic strain properties di-
rectly evaluated from the raw load–displacement data are satisfac-
torily accurate in that range. However, the use of the effective
gauge length deduced from FEA for each testing condition instead
of the calibrated length should significantly improve the predic-
tions. Besides, a better knowledge of the value of the friction coef-
ficient between the ring specimen and the mandrels is essential for
further understanding of the test. An experimental evaluation of
this coefficient is currently in progress. The iterative method previ-
ously mentioned can then be used to refine the assessment of the
hoop mechanical properties if necessary.
5. Conclusions

The anisotropic viscoplastic mechanical behavior of fresh and
irradiated CWSR Zircaloy-4 fuel claddings has been analyzed on
the basis of axial tensile, hoop tensile and closed-end internal pres-
surization tests results mainly extracted from the PROMETRA data-
base, appropriate in the field of RIA studies. In particular, the
effects of temperature (from 20 �C up to 1100 �C), strain rate (from
3� 10�4 s�1 up to 5 s�1), fluence (from 0 nm�2 up to 10�
1025 nm�2) and irradiation conditions (irradiation temperature
or, in the absence thereof, axial position of the sample along the
fuel cladding) on the inelastic properties of the material have been
investigated. A phenomenological model, based on a unified multi-
plicative viscoplastic formulation, was developed in order to repro-
duce these material features. Plastic anisotropy is introduced using
a temperature and irradiation dependent Hill’s yield criterion.
Then, the model ability to simulate the whole experimental data-
base mentioned above has been demonstrated. Finally, the effi-
ciency of the present model for finite element applications has
been illustrated. In particular, the hoop tensile tests performed
within the PROMETRA program have been analyzed and validity
of the stress–plastic strain properties deduced from the tests was
discussed.

The model proposed in the present paper only describes the
mechanical behavior of the material and does not reproduce its
fracture. In order to provide a better understanding of the failure
mechanisms of fuel claddings during RIAs, with the aim of predict-
ing their survivability, a Gurson–Tvergaard–Needleman (GTN) type
model [32–34], coupling the deformation model described in the
present paper with damage, is conjointly developed. In particular,
since hydride embrittlement has been identified as one of the main
limiting phenomenon to burnup increase [2], the analysis of the
influence of hydride precipitates on the ductile fracture (i.e. void
nucleation, growth and coalescence) of cladding tubes is envi-
sioned. Determination and identification of the model parameters
will be performed by combination of numerical simulations and
reliable out-of-pile experiments developed elsewhere carried out
under RIA loading conditions [35].
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